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Abstract

In this paper, a computational investigation on thermo-mechanically induced damage in refractory materials resulting from severe thermal shock
conditions is presented. On the basis of an idealized two-phase material system, molten aluminium thermal shock tests! are computationally modeled
by means of direct numerical simulations (DNS). The interfacial and bulk damage evolution within the material are described by thermo-mechanical
cohesive zones and continuum damage mechanics (CDM), respectively. Reported experimental results! are used to identify the parameters of the
model. Furthermore, a parametric study is carried out to investigate the relative significance of various microstructure parameters in the context of

thermal shock response.
© 2009 Elsevier Ltd. All rights reserved.
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1. Introduction

In metal production plants, molten metal is transported and
processed by means of structures made of high temperature resis-
tant (refractory) materials. Under operation conditions, these
structures are exposed to rapid temperature changes (thermal
shock) and temperature change cycles, mainly due to contact
with molten metal. Refractories with a high alumina (Al,O3)
content and relatively large grained ceramics are used for the
production of such structures. Making use of raw base materials
in the production of these ceramics, the resulting microstructures
are far from homogeneous.

When a heterogeneous material system experiences a temper-
ature change, a stress field develops depending on the boundary
conditions, the coefficient of thermal expansion (CTE) mismatch
between the phases and the uniformity/non-uniformity of the
temperature change within the domain of interest. To illustrate
the essential mechanisms of the internal stress development, a
representative two-phase material system of isotropic phases
(both mechanically and thermally) is considered as shown in
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Fig. 1. In case of identical CTE’s, a uniform temperature change
within the body in combination with the given boundary con-
ditions would lead to a stress free expansion or contraction. If
a difference between the CTE’s exists, under the same load-
ing and boundary conditions, a self-equilibrated internal stress
profile develops due to the mechanical strains resulting from
non-uniform thermal expansion/contraction. Similarly, a non-
uniform temperature change, e.g. occurrence of a temperature
gradient, under certain external constraints, leads to internal
stresses even in the case of matching CTE’s. Therefore for com-
mon engineering materials and loading conditions, there are two
mechanisms which lead to internal stresses. The first mecha-
nism is associated with the CTE mismatch of the phases and
the second mechanism is related to gradients in the resulting
temperature profile which lead to non-uniform expansion or con-
traction. In this simple reasoning, it is implicitly assumed that
the interface remains mechanically intact and acts as a perfect
heat conductor. However, in real material systems, in general,
the interfaces degrade mechanically after a certain threshold
and consequently lose their ability to transmit stresses and to
act as a perfect conductor. Therefore, when the thermal loading
conditions reach significant levels, the initiation and propaga-
tion of material failure is dictated by the collective behaviour
of the interfaces, individual phases, and the contrast in their
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Fig. 1. Two-phase material system with different CTE’s, (a) initial configuration, (b) uniform temperature change, (c) temperature gradient in y direction (dashed

lines correspond to the deformed shape).

mechanical and thermo-physical properties and fracture char-
acteristics. For example, the average grain size dependency of
residual strength observed in quenching tests on fine grained
technical ceramics,>* illustrates the microstructure—property
relation under thermal shock conditions. The micromechani-
cal origin of cracking in fine grained material systems upon
temperature change has been investigated by relatively sim-
ple micromechanical models (semi-) analytically in Refs. 5-7.
The characteristics of the solutions, e.g. stress singularities,
were particularly useful to understand the significant role of
grain size and to identify the potential sites of crack nucle-
ation. Computational models have been used to investigate
more complex geometries and different boundary conditions
at the microlevel often relying on the concept of a representa-
tive volume element (RVE) and extracting macroscopic elastic
properties.®

Approaching the problem from the macroscale, to enhance
the understanding and modeling of thermo-mechanically
induced damage, such as failure of refractory linings® and
concrete failure under high temperatures,'%!! predictive com-
putational tools within the framework of continuum damage
mechanics, have been developed. In such approaches, the
heterogeneous microstructure is replaced by an equivalent
‘homogeneous’ material, which inevitably implies the loss of
information associated with the heterogeneous nature of the
microstructure. In some of these models, the local mechanisms,
e.g. stresses due to a CTE mismatch, are smeared out by some
extra terms in damage evolution laws in a phenomenological
way, see Ref. 12. These approaches are computationally fea-
sible tools for damage analysis of engineering structures but
rather limited for the investigation of fundamental mechanisms
determining the behaviour at the level of the microstructure.

Multi-scale computational models incorporating fine-scale
physical mechanisms in their coarse-scale constitutive response
are an accurate and feasible alternative for the analysis of engi-
neering structures, see Ref. 13. However, the capabilities of
such models heavily depend on the proper characterization of
microscale material parameters. Direct measurement of physical
properties at the scale of individual phases and interfaces, e.g.
strength of an interface, is still a challenging task for experimen-
talists. Therefore, direct numerical simulations (DNS) within an
inverse analysis framework constitute an alternative to deter-

mine these parameters, at least the correct order of magnitude,
which can be a reliable data base for a multi-scale model.

To investigate the influence of microstructural parameters and
to improve the understanding of material response under thermal
loading conditions, thermal shock experiments are reproduced in
a computational setting through fully resolved direct numerical
simulation (DNS) models.

In the next section, the composition of the material
microstructure is presented. Then, the experimental characteri-
zation and conducted experiments are summarized. Thereafter,
the construction of the DNS model, the constitutive modeling of
each phase and the solution procedure are outlined. Parameters
of the model are determined on the basis of an equivalent static
procedure, which is detailed in Section 4.5. Then, the focus is
shifted on the influence of different material parameters, which is
particularly relevant for the industry that processes these refrac-
tories. The paper is closed by the summary and conclusions.

2. Material microstructure

The initial chemical composition of the considered batch with
a certain grading of particles is given in Table 1. The mixture
is first mechanically pressed in a mould, resulting in a ‘green
product’ and then sintered at 1900-2000 ° C to achieve a certain
coherence and strength.

During the sintering process (phase), fine SiO; (approx-
imately 0.2 pm) and Al,Os3 particles react and result in a
composite of mullite (3A1,032Si0;) which is by weight 71.8%
Al,O3 and 28.2% SiO;. Accordingly, the resulting product con-
sists of 35.5% mullite with a very fine microstructure and 64.5%
Al>,O3 of various particle sizes. However, the reaction of SiO»

Table 1
Initial chemical composition and final volume fractions.

Chemical composition (relative weight of components)

AL O3 90.9%

Si0, 8.8%

Na,O 0.2%
Volumetric composition (volume percentages)

Alumina 59%

Mullite 41%
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Fig. 2. Microstructure of the material: (a) light microscope image and (b) SEM image.

and Al,O3 is never fully complete and additionally an amor-
phous glass phase is formed consisting mainly of Al,O3, SiO»
and impurities. In the following sections, the presence of this
glass phase is neglected. Based on the measurements given in
Ref. 14, the difference between the theoretical and measured
density reveals that there exists a porosity of approximately 14%.
Furthermore, it can be safely assumed that relatively large Al,O3
particles (particles of 3 and 0.875 mm, respectively) are free of
any porosity. Representative images of the resulting microstruc-
ture is given in Fig. 2.

3. Experimental characterization of thermal shock
response

Experimental investigations dealing with the thermal shock
response of refractory materials are extensively reported in the
literature, see Ref. 1 and the references cited therein. Typi-
cally, down-quenching experiments have been conducted by
using different quenching mediums ranging from water to
molten salt. For up-quenching, burners, molten metals and
other techniques and devices have been utilized. Due to diffi-
culties associated with the determination of the heat transfer
conditions, these methods are not really suitable to adequately
quantify the thermal shock response of different material
systems.

- Insulation

Sample
Thermocouples

Motivated by the shortcomings of the existing methods,
mainly in realizing reproducible heat transfer conditions, in Ref.
1 refractory specimens were subjected repeatedly to surface con-
tact with molten aluminium followed by passively cooling of
the samples in ambient air. By measuring the transit time of
longitudinal ultrasonic waves at various locations on the sam-
ples, the local damage is characterized in terms of reduction in
the dynamic Young’s modulus. The use of transit time measure-
ment techniques to determine the damage in refractory materials
with coarse grains is validated by independent experiments, see
Ref. 1. The test set-up, the so-called ‘molten aluminium thermal
shock test’ is schematically shown in Fig. 3. An equivalent com-
putational testing procedure is developed starting with a DNS
model of the experiment as presented in the next section.

4. Direct numerical simulation (DNS) of thermal shock
experiments

As shown in Fig. 2, the resulting microstructure is composed
of two distinguishable phases at a mm scale. Relatively large
grains are identifiable, which can be assumed to be embedded
in a compound of fine grains that constitute a rather monolithic
continuous phase, i.e. the matrix. Therefore the microstructure is
idealized as a two-phase composite with large, non-interacting
grains of two different sizes (3 and 0.875 mm, respectively),

M\ri‘,{;t:i?-- :

Dynamic EE measurement,

7

Induction furnace

[CEEE]

Measurement grid

Fig. 3. Molten aluminium thermal shock test set-up.
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Fig. 4. Direct numerical simulation model and traction and heat flux conditions
across a grain—matrix interface

embedded in a matrix of AloO3 and mullite which is in fact
the sintered, continuous structure of grains smaller than 0.5 pm.
Therefore, grains, matrix and their interfaces are the three dis-
tinct components which collectively determine the response of
the material and have to be addressed in the computational
model.

Due to unaffordable computational costs of a 3D model,
a fully detailed 2D model of the test sample is constructed
as shown in Fig. 4. To this end, volume fractions and basic
geometrical information is used to construct, geometrically
and physically representative volumetric units of the material.
To achieve a geometric randomness in the distribution of the
particles, four geometrically different unit volumes and their
arbitrarily rotated versions are combined to built-up the full DN'S
model.

The sample is brought into contact with the molten alu-
minium reservoir (which is at 1000 °C) for 20 min (‘thermal
shock phase’). This is followed by a passive ‘cooling phase’ of

48 h at room temperature (25 °C). The heat transfer characteris-
tics between the sample and the reservoir are identified in Ref. 15
and resulted in temperature dependent heat transfer coefficient
according to

h = 204.56 + ¢"0982% (W /m? K) (1)

where 6 is the film temperature defined as 6 = 0.5(03mbient +
Osurface)- The same study revealed that the heat loss from the
sample during passive cooling takes place at a very slow rate
compared to the thermal shock phase and therefore this stage
is not really relevant as far as damage initiation and evolution
is concerned. Half of the sample is modeled due to symmetry
and rigid body motions are properly constrained as shown in
Fig. 4. Sides and top surfaces of the sample are thermally insu-
lated which is reflected by imposing heat flux free boundary
conditions on these surfaces. The stress/strain state is assumed
to satisfy plane strain conditions, which is of course an approxi-
mation since the real stress state is 3D due to loading conditions
and specimen dimensions. The results of a 2D analysis are reli-
able for a qualitative investigation and they are representative in
terms of trends in damage distribution as a function of the model
parameters.

A thermo-mechanical analysis is carried out to determine
the evolution of stresses, damage and temperature within the
domain. Based on the conservation of linear momentum and
energy, the quasi-static mechanical equilibrium in terms of
Cauchy stresses

V.ootb=0 2)
and the transient heat conduction equation,
pcd+V-G=0 3

apply. In here, b is the body force vector, V is the gradient
operator with respect to the current configuration, c, is the heat
capacity, p is the density, 6 is temperature and g is the heat
flux vector. In addition to external boundary conditions, along
the material interfaces between the grains and the matrix, the

Fig. 5. Microstructure after thermal shock (arrows indicating cracks)
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Fig. 6. Temperature dependency of Young’s modulus (E) and coefficient of thermal expansion («), left column for matrix, right column for grains; based on Refs.

16-19.
conditions,
T=—1 and ¢/ = —¢q; 4)

have to be satisfied, where 7 and g; are the tractions and interface
heat fluxes as shown in Fig. 4. Furthermore subscripts and super-
scripts + and — indicate that the interface is approached from
two different bulk sides of the interface. Solution of these equa-
tions requires the constitutive laws for o, ¢ and in the context
of thermo-mechanical cohesive interfaces also for 7 and g,. In
the following subsections, the constitutive laws for each phase
(grains, matrix and interfaces), are summarized.

4.1. Grains

In Fig. 5, microscopic images of thermally shocked samples
are shown. As far as large alumina grains are concerned, these
images support that micro-cracking occurs along the boundaries
of large grains while the grains themselves remain intact. In
addition to these experimental investigations, analytical stud-
ies on simplified material sys.tems,5 reveal that above a critical
grain size, upon a uniform temperature change, the cracking
occurs along matrix—grain interfaces. Therefore the large alu-
mina grains are assumed to behave elastic and not damaging.
Based on the data given for 99.5% pure alumina technical
ceramics, the Young’s modulus is taken to be 400 GPa with
the corresponding temperature dependency as shown in Fig. 6.
The same reference suggests a temperature independent value of
0.28 for Poisson’s ratio. Similarly, temperature dependent con-
ductivity, heat capacity and CTE of the grains are given in Fig. 7,
based on the data given in Refs. 16—19. A linear relation between
the Cauchy stresses and logarithmic strains is adopted and heat
fluxes are determined by Fourier’s law of heat conduction.

4.2. Matrix

The failure within the matrix takes place through a distributed
micro-cracking mechanism. In spite of remarkable achieve-
ments in the modeling of discontinuities by novel discretization
techniques (X-FEM, generalized FEM), the resolution of com-
plex micro-cracking processes such as multiple micro-cracking
and crack bridging cannot be tackled trivially with the aid of
these tools. Therefore the failure of matrix phase is handled
in an average sense by using a continuum damage mechanics
(CDM) approach.

The volumetric percentages of mullite, alumina and porosity
within the matrix are 74.48%, 11.52% and 14%, respectively.
Mechanical and thermo-physical properties of the matrix are
determined by the rule of mixtures, whereby the percentages of
alumina and porosity are low in the matrix mixture. The result-
ing properties and their temperature dependencies are given in
Figs. 6 and 7.

As micro-cracks nucleate and propagate within the matrix
phase, the coherent structure disintegrates and the stiffness
of the matrix decreases. Continuum damage mechanics pro-
vides a versatile and computationally feasible framework to
model the failure process in an average sense, in a contin-
uum setting without resolving the discontinuities explicitly.
The isotropic damage (D) is introduced as a field vari-
able, which governs (determines) the current material stiffness
as,

E = (1 — D)Ey 5)

where E is the current stiffness tensor. The evolution of dam-
age represents the onset or ‘nucleation’ of micro-cracks and
the material gradually loses its stiffness until a complete crack
is formed at D = 1. The propagation is governed by the local
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Fig. 7. Temperature dependency of conductivity (K) and heat capacity (c,), left column for matrix, right column for grains; based on Refs. 19-22.

stress/strain distribution within the close vicinity of the process
zone.

It can be shown easily that damage models based on a classi-
cal local continuum description yield results that are dependent
on the spatial discretization. More precisely, the results converge
to a non-physical solution upon mesh refinement, while less and
less energy (zero in the limit) for crack propagation is required.
By introducing non-locality in the damage law, either through
spatial averaging or through gradient terms, these non-physical
results are avoided.

In here, the damage evolution is expressed as a function of
a non-local equivalent strain and the damage increases as soon
as the non-local equivalent strain level surpasses the maximum
non-local equivalent strain value attained during loading his-
tory. In an implicit gradient formulation,”> non-local equivalent
strain, €, which governs the evolution of damage, is determined
through the solution of the Helmholtz equation,

e—I’Ve=c¢ (6)
which is driven by the local equivalent strain € in the right-hand
side. In Eq. (6), V? is the nabla operator and [ is the internal
length scale. Since the non-local strain is not given explicitly in
terms of € and its derivatives, but obtained through the solution
of Eq. (6) over the domain, the resulting formulation is referred
to as the implicit gradient formulation distinguishing it from
explicit formulations existing in the literature.

The solution of Eq. (6) requires the definition of proper
boundary conditions on the external boundaries and the bound-
aries between the matrix and the non-damaging grains, which
are commonly adopted the natural boundary conditions,

Ve i =0 (7

Based on Ref. 24, the equivalent local strain is defined as,

12k

k—1 1 S
A+v)2?

2%k —2v) ' T2k

(k— 1) 2

(1—2v)?2! ®

%:

where 11 and J, are the first invariant of the strain tensor and
second invariant of the deviatoric strain tensor, respectively.
Under uni-axial loading conditions, the equivalent local strain
is defined such that, a compressive stress of ko leads to the
same damage growth as a tensile stress of o. The characteristic
large ratio of compressive strength vs. tensile strength of quasi-
brittle materials is incorporated by the variable k = (f./f;). The
particular damage law used here has the form,

0 if Kk < ko
k—ko \" .
D = —_— if k¥ > ko
Kf — Ko
1 if k>«y

which is complemented with the conventional loading/
unloading conditions,

k>0, e—«k=<0, k(e—x)=0 C))
ko denotes the damage initiation threshold and « s is the upper
bound leading to a critical damage equalling unity. A constant-é
curve and the damage evolution law are shown in Fig. 8. As
the Poisson’s ratio (v) approaches to 0.5 and/or under strongly
deviatoric strain states, special care has to be taken since the
expression within the square root might become undefined or
negative.
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4.3. Interfaces

Since the mechanical behaviour and heat transfer mech-
anisms heavily depend on the status of the interfaces, the
modeling and characterization of the interfaces are crucial.
Refractory materials exhibit a quasi-brittle response upon
mechanical loading which indicates that the micro-cracking
mechanisms have a cohesive nature due to crack bridging mech-
anisms, connecting the surfaces of newly forming micro-cracks.
Therefore, the interfaces between the grains and the matrix are
modeled as thermo-mechanical cohesive zones where the load
and heat transfer mechanisms weaken as the opening between
the two faces of the newly forming crack (crack increment)
increases. Direct experimental characterization of the interfaces
still remains a challenging task for the experimentalists since
it is intrinsically difficult to develop an experimental set-up and
suitable samples that enable reliable measurements at such small
scales. Therefore, the parameters of the traction-opening laws
are determined inversely by using the thermal shock test results.

The cohesive nature of interfaces are described by the well-
established mechanical interface relations through which the
damage at the micro-crack tip is lumped into traction-opening
relations. These relations are typically characterized by the
shape of the response curve, fracture energy and the peak
traction values. As reported in Ref. 25, the decisive parame-
ters are the fracture energy and the strength of the interface
rather than the particular formulation of the traction-opening
law. Therefore, in this paper, normal and tangential tractions are

described by the smooth expressions (improved Xu—Needleman
traction—opening laws, see Ref. 26),

_ ¢ (A An A 0
e (F) o
_o0 (A B A ]

=25 (5) (5 ) (S5 (550) o0

where ¢, and ¢, are the fracture energies in pure opening and
pure sliding modes, respectively.2s,, and §; are the mechani-
cal openings in normal and tangential directions as shown in
Fig. 9, in a finite element discretization setting. For a consistent
description of unloading-reloading, a damage parameter based
on the definition of an effective opening measure,

is introduced and the maximum effective opening attained is
traced at every integration point of the interface element. Load-
ing takes place when A,fr = Ay and A,z > 0 and unloading
(or reloading) when A.fr < Ayqx. In the context of thermo-
mechanical loading, the heat conduction through the interfaces
will decrease as well if the opening increases. In fact, the heat
transfer through the solid phase is obstructed and the air filling
the crack will act as a substitute secondary conducting medium
for the heat flow between the two faces of the crack. To quantify
the heat flow along the interfaces on the basis of physical mech-
anisms, the mechanical interface description is supplemented

n

Fig. 9. Two-noded interface element, undeformed and deformed configurations.
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with a thermal interface element description as presented in Ref.
27 where the heat flux through the interface is defined as,

qi =\/4% +4qt (12)

with the components
qn = (1 — dYky + ko)[0]m - n (13a)
g = (1 — k[0l -7 (13b)

to be determined at each integration point based on the interpo-
lation

[6] = N1 01+ — 61-) i1 + Na (s — 65-) iy with

. Xi+ —X1- R Xo+ — Xo—
= —— " and gy = o2 (14)
[lx1+ — x1-1] [+ — X0

[6] is the temperature difference between two material points
on opposite faces of the discontinuity which were coincident
before the crack separated them, see Fig. 9. k* and k¢ are the
conductance of the interface due to solid crack bridging mech-
anisms and the gas filling the cavity, respectively. The interface
conductance can be considered as a penalty parameter which
enforces an identical temperature value at both sides in the case
of an undamaged interface. The interfacial damage parameter d

of Eq. (12) is defined as the ratio (A’e’}?‘ /Acre) where

Ber = \/ D3l + B2 0710 1 (15)

and A, ¢]o.1 max corresponds to the normal and tangential open-
ings corresponding to the residual values 0.1£“* and 0.1£]"%*
in the post-peak regime of the traction-opening curves, respec-
tively. In case of crack closure, the contact conductance is mainly
governed by the ratio of the actual contact area to the total inter-
face area. A contact damage variable representing this ratio can
be used in the case of crack closure as,

Gn.c = —((1— do)ky)[0lm - n (16a)

qrc =0 (16b)

Since the fraction of crack bridges are expected to be dominant
in crack closure as well, one can assume that d. ~ d, as long as
full separation did not occur.

4.4. Solution procedure

In addition to the quasi-static equilibrium and the heat bal-
ance, the non-locality (Helmholtz) equation has to be fulfilled at
every material point of the matrix. The quasi-static equilibrium
equation and the Helmholtz equation are coupled through the
direct dependence of stresses on the damage field and the depen-
dence of damage values on the non-local equivalent strains.

An incremental-iterative solution procedure within a finite
element framework, is adopted to solve the three coupled field
equations. Here, instead of solving the coupled equations in a
combined way, the global problem is split-up into three incre-

mentally uncoupled problems

/a-%aedvz/ qaedf+/ Gul+(86F — 867)dI
v r, r

(17a)
/a:%ﬁdvz/ﬁsﬁdwr/?-sﬁdr
Vv Vv Iy
+/?|+.(5ﬁ+—3ii*)dr (17b)
T
/zsde—/ Wgﬁazdvz/ esedv (17¢)
m Vm Vm

where I'; and I are the parts of external boundaries where the
heat fluxes and the tractions are prescribed, respectively. I is the
area of the grain—matrix interfaces and V, is the matrix volume.
These equations are solved sequentially within a time increment.
Therefore, on a mechanically frozen state, the heat conduc-
tion equation is solved and the temperature profile is updated
accordingly. Thereafter, the stress analysis is carried out with
the updated temperature values but assuming a frozen damage
state. Finally, the Helmholtz equation is solved with the equiv-
alent strain values which are the driving force for the evolution
of non-local equivalent strains. Typical increment of the result-
ing algorithm is summarized in Table 2. The outlined solution
procedure, has been successfully used in the context of numer-
ical damage-plasticity simulations.’®?° The main disadvantage
of the above operator-split solution procedure is its conditional
stability which requires sufficiently small time steps. However,
as soon as non-linearities are triggered, the incremental-iterative

Table 2
Staggered solution scheme for the thermo-mechanically induced damage
analysis

Next increment

I. Thermal pass:

(a) Next iteration

e assemble the tangent conductivity

e solve the system and update 6

e loop over all integration points and calculate heat flux and tangent
conductivity

e assemble the internal nodal fluxes

e check for convergence, if not repeat step (a), else continue

II. Mechanical pass:

(b) Next iteration

e assemble the tangent stiffness

e solve the system and update u

e loop over all integration points and calculate stresses and material tangent
e assemble the internal nodal forces

e check for convergence, if not repeat step (b), else continue

II1. Non-local field pass:

e assemble the system matrices (left-hand side of Eq. (17c¢)) based on
updated geometry

e assemble the right-hand side of Eq. (17¢) based on the updated local
equivalent strain &

e solve the system, update €, x and D

e continue with the next increment
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framework requires small time steps in any case. Therefore, the
operator-split technique does not substantially increase the real
computational costs.

4.5. Parameter identification procedure

As concisely mentioned in Section 3, use is made of ultra-
sonic wave propagation measurements on thermally shocked
specimens at various locations along the height as shown in
Fig. 3; for a detailed treatment, see Ref. 1. Based on the wave
speed measurements, the dynamic Young’s modulus is calcu-
lated using an inverse method. The same procedure is repeated
for undamaged samples and based on the Young’s moduli
ratio, the damage distribution curve along the height has been
determined.

To use the experimental results as a reference to identify the
parameters of the numerical model, the following static analy-
sis procedure is pursued. From the computational model (DNS
model), subjected to the thermal shock history, uni-axial ‘speci-
mens’ are cut out at the locations corresponding to the positions
of the transducers used for the measurements. The cross-section
of the uni-axial specimens is determined by the size of the
transducer. The damage and interface opening histories are trans-
ferred to these uni-axial specimens.

After extraction of these specimens, they are exposed to uni-
axial tensile loading, from which the axial static stiffness of
the damaged specimen is determined and compared with the
axial stiffness of the corresponding undamaged specimen, see
Fig. 10.

Following this procedure, the damage evolution law and
interface parameters (see Table 3) are tuned towards the compu-
tational results presented in Fig. 11(a). Internal length scale of
the matrix damage model is taken as 0.4 mm based on the edge
length of the small grains which is linked to the stress ligaments
developing between the grains. Preliminary computations indi-
cated that the damage values at locations far from the thermally
shocked end of the specimen are essentially determined by the
matrix damage parameters ko and « . These values are taken as
0.08 x 1073 and 0.09 x 10~2 which yielded good agreement
with the experimental results.
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Fig. 11. (a) Damage distribution along the height, experimental vs. computed
results and (b) damage distribution with different interface parameters.

Computational results capture the experimentally observed
trends well whereas quantitatively the results are over estimating
the damage distribution particularly in the close neighborhood
of the thermally shocked end of the sample. In this context,
it is important to re-emphasize the fact that the experimental
measurements result in dynamic Young’s modulus whereas the
computational results are static values. Typically, the dynamic
modulus tends to be smaller than the one estimated from the
static modulus,! as done in the model.

It is important to note that the computational results could
have been reproduced by using a different set of parameters. In
other words, the identified parameters are non-unique essentially
due to the lack of experimental data.

4.6. Parametric study

To investigate the influence of different material parameters,
a parametric study is carried out which uses the equivalent static
procedure as the basis for damage quantification.

Fully resolved models are particularly powerful in capturing
the direct influence of parameters which are difficult to incor-
porate into equivalent homogenous continuum models. In this
context, first the mechanical strength of the interfaces is con-
sidered. In Fig. 11(b), computational results with 4 different
parameter sets are presented. The model without mechani-
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Table 3
Model parameters used for different cases.

Set 1 Set 2 Set3 Setd Set 5
¢n(J/m?) 25 25 25 - 25
¢:(J/m?) 50 50 50 - 50
174X (MPa) 42 14 56 - 700
119X (MPa) 84 28 112 - 1400
K0 0.08 x 1072 0.08 x 1077 0.08 x 1077 0.08 x 1073 0.08 x 1073
Kf 0.09 x 1072 0.09 x 1072 0.09 x 1072 0.09 x 1072 0.09 x 1072
y 0.95 0.95 0.95 0.95 0.95
/(mm) 0.4 0.4 0.4 0.4 0.4

Fig. 12. Damage distribution at the bottom strip of the sample: (a) based on parameter set 1 and (b) based on parameter set 2.

cal interfaces (fully bonded) yields the lower bound solution
(parameter set 4, see Table 3), as seen from the figure. The dam-
age values in the close vicinity of the thermally shocked end
are increasing as the strength of the interfaces increases with
the same fracture energies (more brittle interface). The result-
ing damage distribution for the bottom strip is shown in Fig. 12
for two different cases. As seen from the figure, islands of fully
damaged zones are formed for higher strength values.

In fact, the damage is initiated in the compression regions
between the grains. As the interface becomes more brittle, espe-
cially the tangential openings (sliding) of the interfaces located
on the faces of larger grains get larger (compared to the more
ductile case) whereby the grains tend to rotate due to geometric
lay-out. It means that the compressive action between the grains
and the matrix becomes pronounced, leading to high damage
values. The damage spreads to a certain area as the compressive

Oy G

region evolve as the matrix damages. Accordingly, as the trac-
tion strengths are further increased as done with parameter set 5,
the failure pattern disappears, see Fig. 13, as the tangential open-
ing values become very small since almost all of the interfaces
remain within the pre-peak, stiff regime of the traction-opening
relations. In the limit, the pattern should approach to the case
where there are no interfaces in the system (i.e. fully bonded),
which is presented in Fig. 13. Motivated by the ‘short range’
and ‘long range’ effects introduced in Section 1, the influence
of the CTE mismatch between the grains and the matrix (‘short
range’ effect) is investigated next. As shown in Fig. 14(a), in
case of identical CTE’s (see Table 5), damage values are much
smaller than in the reference case. On the other hand, a slight
increase in the CTE mismatch yields a considerable differ-
ence in the resulting damage profile, which indicates a strong
sensitivity.

Fig. 13. Damage distribution at the bottom strip of the sample: (a) based on parameter set 5 and (b) based on parameter set 4 (without interfaces).
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Fig. 14. (a) Damage distribution as a function of CTE mismatch and (b) damage
distribution as a function of matrix stiffness.

In Fig. 14(b), the damage values obtained by increasing
the matrix stiffness are compared with the reference solution
(parameter set E 1 and E 2, Table 4). A more stiff matrix results
in reduced damage values throughout the specimen.

The ‘long range’ effect is associated with the temperature
gradient which is determined by the diffusivity of the material

1595
Table 4
Model parameters used for different cases (room temperature values).

El E2
Gn(J/m?) 25 25
¢(J/m?) 50 50
174X (MPa) 14 14
1% (MPa) 28 28
Ko 0.08 x 107> 0.08 x 107>
Kf 0.09 x 1072 0.09 x 1072
Y 0.95 0.95
[(mm) 0.4 0.4
Kn(W/m?K) 791 791
Ky(W/m? K) 38.90 38.90
Em(GPa) 215.14 32271
E,(GPa) 400 400
om(1/K) 4.56 x 1070 4.56 x 1076
ay(1/K) 53 x 107 53 x 1076

and the heat transfer conditions across the boundaries. To inves-
tigate this effect, the conductivities of the both phases have been
increased significantly as reported in Table 5 (parameter set K 1
and K 2). The resulting temperature profile along the indicated
section for two cases are shown in Fig. 15. In case of higher
conductivities, the temperature difference between the top and
bottom faces of the specimen gets considerably smaller com-
pared to the reference case, which also implies a deformation
mode closer to ahomogenous state. The resulting damage values
are shown in Fig. 16. This result suggests that as the tempera-
ture profile gets milder, the damage values tend to be smaller
and approximately constant throughout the specimen. To inves-
tigate the influence of interfaces when the material is highly
conductive, another set of computations is carried out as given
in Table 5 (parameter set K 3). The results given in Fig. 16(b)
suggests that as the material gets more conductive, the influence
of interface parameters become negligible since the two data
sets are almost coincident. As the deformation approaches to
a homogenous state, the interfacial characteristics become less
influential.
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Fig. 15. Temperature profile at the end of loading history for parameter set K 1 and K 2.
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Table 5
Model parameters used for different cases (room temperature values).
Al A2 A3 K1 K2 K3
$n(J/m?) 25 25 25 25 25 25
#:(J/m?) 50 50 50 50 50 50
1% (MPa) 14 14 14 14 14 56
1" (MPa) 28 28 28 28 28 112
Ko 0.08 x 1073 0.08 x 1073 0.08 x 1072 0.08 x 1073 0.08 x 1072 0.08 x 107>
Kf 0.09 x 1072 0.09 x 1072 0.09 x 1072 0.09 x 1072 0.09 x 1072 0.09 x 1072
y 0.95 0.95 0.95 0.95 0.95 0.95
I(mm) 0.4 0.4 0.4 0.4 0.4 0.4
Km(W/m?K) 791 7.91 7.91 7.91 79.1 79.1
Kg(W/m2 K) 38.90 38.90 38.90 38.90 389.0 389.0
Em(GPa) 215.14 215.14 215.14 215.14 215.14 215.14
E4(GPa) 400 400 400 400 400 400
am(1/K) 4.56 x 107® 4.56 x 107® 4.56 x 1070 4.56 x 107® 4.56 x 107 4.56 x 107°
ag(1/K) 5.3 x 1070 4.56 x 1076 5472 x 107° 5.3 x 107 53 x 1076 53 x 1070
(a) 02 - - - - - - On the basis of this parametric study, it can be concluded that:
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018
0.16} 1 e In case of strong temperature gradients, the damage evolu-
0.14} J tion is markedly sensitive to the CTE mismatch between the
g o012} | phases. Damage values increase significantly as a result of a
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0'06 long as there exists a strong temperature gradient. More brit-
‘ tle interfaces (with a limited strength) yield higher damage
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Fig. 16. (a) Damage distribution for a more conductive material and (b) influence
of the interface strength in case of more conductive material.

5. Summary and conclusion

On the basis of an idealized two-phase material system, direct
numerical simulations are used to investigate the thermal shock
response of refractory ceramics. Molten aluminium tests are
reproduced within a computational framework and the param-
eters of the model are identified relying on a static equivalent
computational procedure. Furthermore the influence of certain
material parameters are investigated qualitatively.

e For highly conductive materials, the damage distribution
tends to be uniform throughout the specimen. The influence of
interface parameters diminishes since the deformation mode
is approaching a homogenous state and the damage values are
smaller since the CTE mismatch is the only mechanism of the
damage evolution.

e Increasing the stiffness of the matrix has a favorable effect
in the context of thermal shock response since the damage
values are getting smaller.

Obviously, a more extensive parametric study can be carried
out to investigate the relations between different parameters.
Nevertheless, the modeling approach and the parametric study
provides information on the mechanisms of damage evolution
and the significance of certain parameters of the material system
of interest. Such information can not be extracted on the basis of
a continuum model which does not consider the heterogeneities
explicitly. Furthermore, the identified parameters can be useful
in a multi-scale modeling framework.
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